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Abstract

Neutron irradiation affects the mechanical properties of Reactor Pressure Vessel (RPV) steels used in Light Water Re-
actors (LWR). Fracture properties are particularly monitored based on surveillance programs, mostly through Charpy
impact tests. The evolutions of Ductile Brittle Transition Temperature (DBTT) and Upper Shelf Energy (USE) with ir-
radiation are evaluated and used for structural integrity assessment depending on regulation procedures. Semi-empirical
correlations have been proposed to predict DBTT and USE shifts as a function of material chemical composition and fast
neutron fluence, based on extended experimental database. In this study, numerical simulations of Charpy impact tests are
performed in order to predict quantitatively the evolution of USE with irradiation. In a first part, the mechanical properties
of an A508 Cl3 RPV steel are presented, including tensile tests on flat and notched samples and Charpy impact tests, for
various irradiation levels and test temperatures. USE values are found to be within the bounds of correlation curves. In a
second part, the experimental data are used to calibrate constitutive equations describing the material behavior up to high
strain levels. Charpy impact test finite element simulations are then detailed, including ductile fracture modelling. In a
third part, the ductile fracture model is calibrated based on the experimental data, and numerical simulations are used to
predict the evolution of USE with irradiation. The decrease of USE with irradiation is recovered, and the numerical re-
sults are found to be in quantitative agreement with the correlation curves. Additional simulations confirm the agreement
for different reference unirradiated USE and chemical composition, as well as using a simplified ductile fracture model.
These results indicate that numerical simulations of Charpy impact test relying on calibrated constitutive equations can be
used to predict USE and required experimental characterization are finally discussed.

Keywords: Reactor Pressure Vessel, Neutron irradiation, Fracture properties, Charpy impact test, Upper Shelf Energy

1. Introduction

Reactor Pressure Vessel (RPV) of Light Water Reactors (LWR) are made of low alloy steels such as A508 for modern
LWRs [1]. These ferritic steels exhibit a ductile brittle transition [2]. Well below the Ductile Brittle Transition Temperature
(DBTT), brittle fracture occurs through cleavage [3] and the associated fracture energy is low. Well above the DBTT,
ductile fracture occurs through nucleation, growth and coalescence [4] of internal voids associated with high fracture5

energy. The operating temperature of LWRs (∼ 290◦C) is well above the DBTT for A508 steels at the beginning of
operation. However, neutron irradiation leads to an upward shift of the DBTT [1], thus requiring monitoring through
dedicated surveillance programs [5, 6] for structural integrity assessment. Neutron embrittlement of RPV steels can be
assessed through impact tests on Charpy V-Notch (CVN) specimens or fracture toughness tests on pre-cracked specimens.
In the latter and historically newer approach, quasi-static isothermal tests are performed and analyzed based on the Master10

Curve approach [7], leading to the evaluation of the reference temperature T0 characterizing the ductile brittle transition.
A review of the application of the Master Curve approach to the neutron embrittlement of RPV steels can be found in
[8]. In the former, index temperature corresponding to a given CVN fracture energy TX (typically X = 41J or 56J) and
Upper Shelf Energy (USE) are quantified. Index temperatures are used to evaluate the shift of DBTT ∆T = ∆TX (or ∆T0)
while USE gives the fracture energy at LWR operating temperature. In surveillance programs [6], ∆T is used to update15

the lower bound toughness curve used to assess structural integrity, while tests on fracture toughness specimens are used
to evaluate the conservatism of the approach. ∆T and USE depend on both irradiation conditions (fast neutron fluence,
temperature) and chemical composition of the material. Various analytical models, loosely referred to as Embrittlement
Trend Curves (ETC) in the following, have been proposed to predict the temperature shift ∆T . Statistical analysis of
extended experimental database leads to NUREG-6551 [9] and FIM [10] semi-empirical correlations, based on US and20

France data, respectively. Physically-based correlations have also been proposed, such as the JEAC4201 model relying
on the quantification of irradiation defects [11] or the EONY model [12]. The reader is referred to the thorough review
on ETC development and current status [13]. Fewer models have been proposed to predict the decrease of USE with
irradiation. In addition to ∆T prediction, NUREG-6551 [9] proposed a model for the USE that depends on neutron
fluence, chemical composition and product form (welds, plates, forgings). Later on, additional correlations have been25

proposed [14, 15] based on regression analysis of experimental data. While previous correlations have been developed
independently of ∆T correlations, UNM-6 model [16] is based on the linear relation between ∆USE and ∆T , further
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discussed in [17] by pointing out a direct relationship between T41J and USE. A simple model has been proposed recently
depending solely on copper content and fast neutron fluence [18]. All USE correlations provide satisfactory agreement
with respect to experimental data, owing to the large scatter. NUREG-6551 [9] and UNM-6 [16] predictions have been30

compared in [19] to experimental data from Belgian surveillance program. Large scatter is observed, but the UNM-6
model was shown to be in better agreement with that specific set of data.

Neutron embrittlement of western RPV steels is due to irradiation-induced hardening resulting from the presence of
solute clusters and matrix defects [1, 20]. Non-hardening embrittlement related to segregation of alloying elements like
phosphorus at grain boundaries under irradiation can be observed in specific conditions, i.e., VVER RPV steels [21],35

which are not considered here. Hence evolutions of macroscopic fracture properties measured on impact and toughness
tests (T0,TX ,USE) are directly related to the increase of hardening, as used explicitly in JEAC4201 and EONY models to
predict ∆T . Numerous studies have been performed dealing with the evolution of fracture toughness with irradiation in the
brittle regime [22, 23]. Brittle fracture of RPV steels is commonly described using Beremin-like models [24, 25] requiring
analytical or numerical estimation of local stress / strain fields. The main input parameters are the stress-strain curves and40

the local fracture properties - calibrated at the reference state - and the output is the shift of the reference temperature T0.
Details and current status of this approach can be found in papers related to recent European projects on the topic [26, 27].
Less work has been done to predict the evolution of Charpy impact tests fracture properties (TXJ ,USE) with irradiation
using numerical simulations. In addition to stress-strain curves and cleavage fracture model for the brittle regime, these
simulations require accurate modeling of ductile fracture. Physically-based modelling of ductile fracture through void45

growth to coalescence relies on dedicated constitutive equations where void volume fraction / porosity is included as a
state variable. Based on the homogenization of a hollow sphere, Gurson proposed a yield criterion for porous materials
[28], relevant to ductile fracture. The model was later improved by Tvergaard and Needleman and is referred to as the
GTN model which is still widely used nowadays [29, 30]. Since then, refined models have been proposed accounting
for increasing complexity - anisotropy, void shape - and the reader is referred to the recent reviews on the topic [31, 32].50

These ductile fracture constitutive equations are used to perform finite element ductile tearing simulations. Pioneered
by Norris [33], Charpy V-Notch finite element simulations including ductile tearing have been improved over the years
[34, 35, 36] to include 3D effects and detailed comparisons to experimental data. CVN simulations have then been applied
to predict the neutron embrittlement of RPV steels. Early studies [37, 38] combined Beremin-like model to predict brittle
fracture and GTN-like ductile model for stable crack growth in order to predict the shift of ductile brittle transition curves55

with irradiation. These studies were later refined in [39, 40] to predict (∆TXJ ,∆USE).
All these studies pave the way towards quantitative prediction of the neutron embrittlement of RPV steel through a

multi-scale approach, removing the need for semi-empirical correlations. In a nutshell, physically-based models predict
irradiation-induced defects and their effect on hardening as a function of material chemical composition and fast neu-
tron fluence. Numerical simulations using relevant fracture models can then predict the evolution of fracture properties60

accounting for irradiation-induced hardening. However, as shown in [39], such approach requires accurate constitutive
equations to model the material behavior as well as accurate brittle and ductile fracture models. First, experimental data
characterizing large deformation behavior of RPV steels are necessary to go beyond ad hoc hypotheses often made in the
literature (power-law hardening calibrated at small strains extended to large strains, assumptions regarding the effect of
irradiation on hardening [39]). Typically, tensile tests on notched samples or torsion tests allow assessing large strains [41]65

and are widely used for unirradiated material. Experimental data remains however scarce for irradiated RPV steels [42],
especially regarding the effect of irradiation level. Secondly, fracture models, either brittle or ductile, have parameters
requiring calibration. In particular, the dependence of these parameters to the irradiation level is still an open question,
for both brittle [43] and ductile [44] fracture. Predicting the shift of index temperature ∆TX is a challenging task as stable
ductile crack growth can appear before unstable brittle failure, thus requiring brittle and ductile fracture modelling. The70

prediction of the evolution of upper shelf energy with irradiation may be simpler as only ductile failure is involved, but
barely no numerical predictions has been proposed so far [39]. Therefore, the aim of this study is to perform numerical
simulations of Charpy impact tests of RPV steels and to predict the effect of irradiation on the upper shelf energy. The
paper is organized as follows. In a first part, an experimental database on unirradiated and irradiated RPV steel is first
presented, including a thorough assessment of strain-hardening behavior for high strains - relevant for ductile fracture75

modelling - as a function of irradiation fluence and temperature. In a second part, the constitutive equations used to model
strain-hardening are detailed and calibrated based on the experimental data. The ductile fracture model is then described
as well as the Charpy impact test simulations. In a third part, the full model is calibrated with respect to experimental
Charpy load-displacement curves. The numerical prediction of the effect of irradiation on upper shelf energy is described
and compared to the correlations available in the literature. Finally, the effects of material parameters and of the choice of80

the ductile fracture model are discussed.

2. Experimental characterization

In this section, an experimental characterization of a RPV steel is presented, focusing on the effects of irradiation on
both mechanical behavior measured by tensile tests on smooth and notched specimens and upper shelf energy measured
through Charpy impact tests.85

2.1. Materials
The materials considered in this study are A508 Cl3 steel referred to as 16MND5 in France [6]. Two different

materials are used with slight differences of chemical composition, as shown in Tab. 1. The main difference is related
2



to the phosphorus content known to affect irradiation-induced hardening and embrittlement. Both materials were heat
treated (two austenizing treatments followed by water quenching and tempering, and a final stress relief treatment). The90

associated microstructure is a tempered bainite.

C S P Mn Si Ni Cr Mo V Cu Co Al
Material #1 0.14 0.004 0.006 1.33 0.19 0.73 0.21 0.49 <0.01 0.06 0.02 0.025
Material #2 0.15 0.006 0.013 1.31 0.22 0.70 0.19 0.52 <0.01 0.07 0.02 0.022

Table 1: Chemical composition (weight %) of the materials

The Material #1 is used for the characterization of the mechanical behavior and has been irradiated as part of EDF
surveillance program to different levels of fast neutron fluence [6]. The Material #2 originating from a forged nozzle shell
is used for the evolution of the upper shelf energy with irradiation. It has been irradiated in the Material Testing Reactors
Osiris (CEA Saclay) and RBT-6 (RIAR) to different fast neutron fluences. Experimental characterization and modelling95

on Material #2 have been reported in previous studies [42, 45]. The irradiation conditions are summarized in Tab. 2.

Irradiation temperature Flux (E>1MeV) Fluence (E>1MeV)
(◦C) (1012n.cm−2.s−1) (1019n.cm−2)

Material #1
∼ 288 ∼ 0.2 [0 - 7.5]

Material #2 ∼ 5 [0 - 14]

Table 2: Irradiation conditions of the materials: Material #1 has been irradiated as part of the EDF surveillance program [6], Material #2 has been
irradiated in MTRs [42, 45]

In the range considered in Tab. 2, fast neutron flux has been shown to have a negligible effect on irradiation-induced
hardening and embrittlement for low copper materials [10]. Thus, the difference between Materials #1 and #2 specimens
reported hereafter are mainly fast neutron fluence, and to a lesser extent chemical composition. As shown in the following,
combining available data for Materials #1 and #2 allows assessing both tensile properties and fracture properties for a large100

range of irradiation fluence and test temperature.

2.2. Tensile properties

Tensile properties have been assessed on Material #1 on flat tensile and axisymmetric notched samples machined
through electro-spark erosion, at both unirradiated and irradiated states. Mechanical tests have been performed at the LECI
hot cells facility (CEA Saclay). Flat tensile samples have a gage region of 25×4×2.5mm3. Axisymmetric notched samples105

have a minimal diameter of 3.5mm and a notch diameter of 2.8mm. All tests have been performed under isothermal
conditions between -100◦C and 300◦C at a mean strain rate of 5.10−4s−1 along the gage - or notch - length. For notched
samples, traction-compression tests are performed: tensile loading is applied until reaching a given level of accumulated
plastic strain, then compressive loading is applied until the minimal diameter φ, measured by a diametral extensometer,
reaches its initial value φ0. Accumulated plastic strain is evaluated using the formula p = 2 ln (φ0/φ). Target values for the110

tensile loading lies between 20% and 40%. As fluence is different from one sample to the other, results are presented in the
following by grouping the data. For flat tensile samples, three groups are used: Φ(E > 1MeV) = [3.6 − 4.0]1019n.cm−2,
[5.0 − 5.4]1019n.cm−2 and [6.8 − 7.5]1019n.cm−2, referred to as by their mean fluence Φavg in the following.
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Figure 1: Conventional tensile properties (a) yield stress with a 0.2% offset YS and (b) ultimate tensile strength UTS for Material #1. Dashed lines
correspond to fitting curves assuming an exponential dependence with respect to the temperature. Inset (a): Irradiation hardening ∆YS (200◦C) as a
function of neutron fluence for Materials #1 and #2. Dashed line corresponds to a power law fit with an exponent 0.59 [10].
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Conventional tensile properties - yield stress with a 0.2% offset YS and ultimate tensile strength UTS - are shown
on Fig. 1. Typical evolutions of RPV steels tensile properties are obtained with higher stresses for lower temperatures /115

higher fluence. At room temperature and at the unirradiated state, the Material #1 is characterized by a yield stress and
ultimate tensile strength equal to 470MPa and 600MPa, respectively. A strong irradiation-induced hardening is observed:
an increase of yield stress ∆YS = 110MPa is observed for the maximal fluence considered Φavg = 7.2 1019n.cm−2. A
dynamic strain ageing is also found characterized by a non-monotonic dependence of the mechanical properties between
room temperature and 300◦C (Fig. 1b).120
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Figure 2: Conventional stress (F/S 0) as a function of the normalized diametral reduction (∆φ/φ0) at the (a) unirradiated state and (b) irradiated state,
for Material #1

Results for notched samples are shown in Fig. 2 for the different temperatures and fluences. At the unirradiated state
(Fig. 2a), the target accumulated plastic strain is p = 40% in order to assess large strain behavior of the material. In
addition, the reverse compressive loading allows evaluating the Bauschinger effect which is significant for all tempera-
tures, where a lower yield stress in compression is observed after a tensile loading. Similar results are observed at the
irradiated state (Fig. 2b) with higher stresses as fluence increases. These experimental data are consistent with the results125

obtained on Material #2 [42] that will be presented hereafter. Additional experimental data on notched samples are also
available for other fluences (3.8 1019n.cm−2 and 7.2 1019n.cm−2) and are presented in the following for the calibration of
the constitutive equations.

2.3. Impact properties
Impact properties have been thoroughly characterized through Charpy V-notch test for the Material #2. In particular,130

for five different irradiation levels, upper shelf energy has been determined and compared to reference value obtained be-
fore irradiation [42]. Reference USE are in fact evaluated for each irradiation campaign based on specimen sampled close
to the ones irradiated to account for sampling effects. In all cases, fractographic observations confirm that the fracture is
ductile and related to the presence of MnS inclusions and carbides. Results are summarized in Tab. 3. First, large variation
of reference USE is observed, showing that sampling effects are significant and should be accounted for to assess the evo-135

lution of USE with irradiation. More precisely, the two subsets for USEref in Tab. 3 are attributed to different orientations
of the specimens: T-L and L-S for the lower and higher values, respectively. Second, a drop of USE with irradiation is
systematically observed, consistently with data from the literature [18]. Note that in some cases, mostly low irradiation
fluence, an increase of USE can be observed [19]. Third, the magnitude of the USE drop is affected by both the initial
USE and irradiation fluence, as accounted for in ETC [9, 15, 16, 18].140

Orientation USEref Fluence (E>1MeV) ∆USE

(J) (1019n.cm−2) (J)

L-S 222 5.2 -56

T-L 166 8.8 -27

T-L 183 11.0 -36

L-S 222 11.8 -54

T-L 170 13.7 -23

Table 3: Evolution of Upper Shelf Energy (USE) as a function of
irradiation fluence for the Material #2
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The experimental data are compared to the trend curves proposed in [9, 15, 16, 18] in Fig. 3. It should be noticed that
all models but one (NUREG-6551) can be expressed as USE(Φ)/USE(Φ = 0) = AG(Φ), where the prefactor A depends
on the chemical composition and product form. For NUREG-6551, the normalized USE still depends on the reference
USE. All models give consistent predictions owing to the large standard deviation associated with each model. Note also
that an alternative model based on DBTT shift has been proposed in NUREG-6551 (i.e., Eq. 3-6 in [9]) that leads also
to prediction in agreement with these experimental results. Among the four models and for the chemical composition of
Material #2, NUREG-6551 is an upper bound while Otaka-2004 is a lower bound. Experimental data from Tab. 3 are
within the scatter range (±σ) of all models. The latest and simplest model - Kirk-2015 - shown in dashed line in Fig. 3
and defined as:

USE = USEref

[
1 + L max

(
log10 Φ(n.cm−2) − 17, 0

)]
(1)

L = −

[
0.1 + 0.065 tanh

(
Cu(wt%) − 0.18

0.06

)]
(2)

is in rather good agreement with the experimental data, especially with the subset corresponding to the T-L orientation.
Clearly, more data would be necessary for lower fluences to assess the initial decrease of USE, but are not available for the
Material #2 considered. In the following, Kirk-2015 model (Eq. 1) will be used for comparisons to numerical simulations.145

The interesting feature of this model - compared to others - is that the only dependence to the chemical composition is
the copper content, while retaining a satisfactory agreement for predicting experimental results on a large database [18].
This implies that, at least from a statistical point of view, the evolution of USE is mainly driven by irradiation-induced
hardening. Irradiation might still affect other phenomenon involved in ductile fracture, i.e., void nucleation or coalescence,
but then Eq. 1 implies that these evolutions should be weakly dependent on chemical composition. Given that extended150

information are available for the material considered about the hardening behavior (Section 2.2), especially as a function
of irradiation level, the main question raised in this study is the possibility to predict quantitatively the evolution of USE,
removing the need for ETC such as Eq. 1. This requires modelling of the material behavior and simulating Charpy impact
tests.

3. Modelling and Simulations155

In this section, modelling and simulations of Charpy V-Notch tests are described with the aim of predicting USE. The
modelling of the hardening behavior is first detailed for cases where ductile damage is not involved, then extended to
account for porosity evolution. The finite element Charpy simulations are finally described.

3.1. Constitutive equations: Hardening behavior
Experimental data shown in Section 2.2, tensile loading on flat specimens and tension-compression tests on axisym-

metric specimens correspond to cases where ductile damage can be neglected. Thus, these data can be used to calibrate
the hardening behavior of the material. The constitutive equations used in the following are taken from [42]. Elasticity is
described by Hooke’s law, with a Young’s modulus Y and a Poisson’s ratio ν. Plasticity is modelled using a yield function
F defined such as:

F = σ? − R(p) (3)

where σ? is an equivalent stress and R(p) represents the isotropic hardening. Without ductile damage, σ? is computed
based on von Mises equivalent stress σvM :

σ? = σvM

(
σ
∼
− X

∼

)
(4)

where σvM(•) =
√

[3/2] •′ : •′ with •′ = • − trace • I. σ
∼

and X
∼

are the Cauchy stress and a back stress to account for
kinematic hardening, respectively. Viscoplastic behavior is governed by the flow rule [46]:

ε̇
∼ p = ṗ ([F ]+)

∂F

∂σ
∼

(5)

where [•]+ is the positive part function. The accumulated plastic strain rate function ṗ is defined as an harmonic sum of
two Norton-like viscous laws:

ṗ(•) =

[(
•

K1

)−m1

+

(
•

K2

)−m2
]−1

(6)

where the parameters {K1,m1,K2,m2} govern the viscosity of the material. Eq. 6 allows accounting for two viscous
mechanisms at low and high strain rates, respectively [47]. For cases where one mechanism is almost not activated, a
standard Norton viscous law is recovered. Eqs. 5, 6 lead to higher stresses as strain rate increases, which is important for
the modelling of Charpy impact test where high strain rates happen close to the notch. Isotropic and kinematic hardening
are defined through the evolutions of the variables R (Eq. 3) and X

∼
(Eq. 4), respectively. A Voce law is used for isotropic

hardening:
R(p) = max

(
R0 + Q

[
1 − exp (−bp)

]
,Rl

)
(7)

where Rl is the value of the Lüders plateau often observed in RPV steels. The kinematic hardening is ruled out by the
Armstrong-Frederick law for the evolution of the back stress:

Ẋ
∼

= Cε̇
∼ p − DṗX

∼
(8)

5



The hardening behavior is fully characterized by the set of parameters {R0,Rl,Q, b,C,D,K1,m1,K2,m2} that may depend160

on temperature and irradiation level. Elasticity and viscosity moduli are assumed to be independent of irradiation and are
taken from previous studies [42]. The other parameters are calibrated in Section 4.1.

3.2. Constitutive equations: Ductile fracture

The set of equations presented in the previous section should be extended to account for the presence of porosity -
defined as the ratio of the void volume fraction to the total volume - in order to model ductile fracture through void growth
and coalescence. As shown in [48], this can be done in a seamless way by considering equivalent stresses σ? other than
von Mises stress in Eq. 3. In the void growth regime, the GTN model [29, 30] is used where σ?gtn is defined as:

σ?gtn such as
σvM

σ?gtn

2

+ 2q1 f cosh
3

2
q2
σm

σ?gtn

 − 1 − q2
1 f 2 def.

= 0 (9)

Eq. 9 along with Eq. 3 set the stress level at which plastic flow will occur for a material of porosity f . Two limit cases
can be described: for f → 0, σ?gtn → σvM , the material is not porous and classical von Mises plasticity is recovered. For
f → 1, i.e., the material is fully porous / damaged: the stress level for plastic flow tends to zero according to Eqs. 9, 3,
modelling cracking. However, the GTN model is relevant for low porosity regime where voids are not interacting with
each other. For high porosity, another model should be used, such as the Thomason coalescence model [49]:

σ?coa such as σI
def.
=

(1 − χ2)

0.1 (
χ−1 − 1

W

)2

+ 1.2
√
χ−1

σ?coa (10)

where σI is the largest principal stress. W and χ are variables describing the voids: W is the void aspect ratio and χ is the
void radius normalized by the distance between adjacent voids, both defined with respect to the direction ofσI . For χ→ 1,165

i.e., voids are interconnected, Eq. 10 along with Eq. 3 imply that plastic flow will occur for σI = 0, again modelling crack-
ing. Both equivalent stresses (Eqs. 9, 10) define a yield criterion (Eq. 3) associated with a plastic flow rule (Eq. 5) in order
for the full model to account for both void growth and void coalescence deformation regime. Multi-surface plasticity is
used: both yield criteria can be activated. In practice, except close to the transition, only one deformation mode is active at
the same time: void growth for low porosity and void coalescence for large porosity. In addition, incorporating kinematic170

hardening (Eq. 8) in ductile fracture model is still a research topic [50]. Thus for ductile fracture simulations shown in the
following, the kinematic contribution to hardening is transformed into an additional isotropic Voce hardening where the
parameters of the Voce law are {Q, b} = {C/D,D}.

Evolution laws for the additional internal variables introduced in the previous equations - namely porosity f , normal-
ized intervoid distance χ and void aspect ratio W - are required to have a full set of constitutive equations. The evolution
of the porosity comes from mass conservation [31]:

ḟ = (1 − f ) trace ε̇
∼ p (11)

Void nucleation can be accounted for by adding a term [36], either strain- or stress-based, in Eq. 11, but is disregarded here
for simplicity. This point will be discussed later on. The parameter χ can be recovered from geometrical considerations
[31]:

χ = qχ

(
6λ f
πW

)1/3

λ̇ = λε̇
∼ I (12)

where λ is the aspect ratio of the void distribution (assumed periodic). qχ is a phenomenological parameter introduced
to account for the effect of void distribution on coalescence phenomenon [51]. Its value is close to one and should be
calibrated. The higher the value of qχ, the higher the value of χ, the lower the coalescence stress (Eq. 10). For simplicity,
void aspect ratio evolution is disregarded Ẇ = 0. Finally, in order to complete the set of constitutive equations, initial
internal state values are required:

{ f ,W, λ}t=0 = { f0, 1, 1} (13)

stating that the initial void distribution corresponds to a cubic array of spherical voids. For χ→ 1 (Eq. 12) - corresponding175

to interconnected voids - the yield surface shrinks to a point as a result of Eq. 10, representing material failure. To avoid
numerical problems close to this point, a threshold is defined χc = 0.95 above which an additional internal variable
broken is set to one. In that case, the output of the constitutive equations is σ

∼
= 0

∼
. The constitutive equations detailed

hereabove have been implemented in the MFront code generator [52] using an implicit integration scheme using the
logarithmic framework to account for finite strains [53]. Details about this numerical implementation can be found in180

[54].

3.3. Charpy impact test simulations

Finite element simulations of Charpy V-Notch tests are performed using the constitutive equations described previ-
ously in the Cast3M finite element code [55]. The finite element meshes of the specimen, anvils and striker have been
made using Salome platform (Fig. 4a) where quadratic reduced integration elements are used. Mesh is refined in the185

crack propagation area (Fig. 4b) as well as in contact areas. Frictional contact is modelled between the specimens and
6



the anvils / striker according to a Coulomb’s law with a friction coefficient µ = 0.1. Anvils and striker are assumed to be
rigid. The constitutive equations used lead to mesh-dependent results [48]. A simple way to deal with such deficiency is
to consider mesh size in the region where ductile crack propagates as a material parameter [36]. A fixed initial size of
element perpendicular to crack propagation of 100µm is chosen (Fig. 4b), which is of the order of the typical microstruc-190

ture relevant lengthscale [36]. Otherwise, mesh convergence has been assessed with respect to mesh density outside the
crack propagation area. Due to high plastic strain rate, local heating happens close to the crack tip. Accounting for this
phenomenon, as done in [36], is crucial at low temperature due to the strong evolution of mechanical properties with
temperature (Fig. 1). However, this can be neglected at high temperature where mechanical properties saturate, which is
done in this study.195

(a) (b)

Figure 4: (a) Meshes of Charpy specimen, anvils and striker. Due to symmetries, only one-fourth of the total mesh is actually used in the simulations
reported hereafter. (b) Close-up view of the notch mesh.

Unless specified, simulations are performed using an initial porosity level f0 (Eq. 13) given by the Franklin’s formula
[47] which considers that primary voids nucleate in RPV steels from manganese sulphur inclusions and oxides:

f0 = 0.054
(
S(wt%) −

0.001
Mn(wt%)

)
+ 0.055 O(wt%) (14)

For Material #2 (Tab. 1), this leads to f0 = 4.5 10−4, where the oxygen content has been set to O(wt%) = 0.003. To speed
up numerical simulations, only one layer of elements along the crack path has a non-zero porosity. A displacement rate
ot the striker of 5m.s−1 is applied. Quasi-static simulations are performed. Dynamical effects are thus neglected as it was
shown to have a negligible effect on the overall load-displacement curves [36]. However, strain-rate effects are accounted
for through the constitutive equations (Eq. 6). Two numerical strategies have been implemented and used simultaneously200

to increase the robustness of the simulations. First, element deletion is used based on the criterion that half of the Gauss
points have the internal variable broken equals to one. Second, an explicit time step control strategy is used: the time
step is automatically adjusted to target a maximum porosity increment ∆ ftarget = 3.10−3 (Eq. 11).

4. Numerical results

In this section, the parameters of the model are first calibrated based on comparisons to experimental results. Then,205

simulations are performed to predict the evolution of the USE with irradiation.

4.1. Calibration: Hardening behavior
Tensile tests on flat and notched specimens are used to calibrate the remaining parameters of the hardening law

{R0,Rl,Q, b,C,D} by comparing the predictions of the model to the experimental data. For the tensile tests, uniaxial stress
loading conditions are applied on a material point, while finite element simulations are performed for the notched samples.
All parameters are a priori dependent on temperature and fluence. The hardening parameters are written as:

R0(T,Φ) = [1 + α(Φ)]r0(T ) Rl(T,Φ) = [1 + α(Φ)]rl(T )
Q(T,Φ) = q(T ) exp

[
−bβ(Φ)

]
C(T,Φ) = c(T ) exp

[
−Dβ(Φ)

] (15)

which says that irradiation induces both a increase of yield stress / Lüders stress and a decrease of strain hardening
capability [56]. Then, following the approach proposed in [42] where a Master Curve has been determined for the tensile
curves by rescaling by the flow stress:

q(T ) = 0.45r0(T ) b = 12
c(T ) = 4r0(T ) D = 25

(16)

The functions r0(T ) and rl(T ) correspond to the flow stress and Lüders stress of the unirradiated material, and can be
extracted from conventional tensile properties. Note that the slight non-monotonous dependence of flow stress between
100◦C and 300◦C is not modelled. The functions α(Φ) and β(Φ) require calibration. A power-law dependence to the fast210

neutron fluence with an exponent 0.59 is chosen, consistently with the ETC [10]. Only the two prefactors of the functions
α(Φ) and β(Φ) remain to be calibrated, which has been done in [42] for a fluence of 12.1019n.cm−2. All parameters are
summarized in Tab. 4.
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Figure 5: Comparisons between the predictions of the constitutive equations (solid lines) to the experimental data (points) for tensile tests on flat (a,c,e,g)
and notched (b,d,f,h) samples, as a function of temperature and irradiation fluence, for Material #1
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The comparisons between the experimental data and numerical simulations are shown in Fig. 5 for different tempera-215

tures and irradiation fluences, for Material #1. For T ∈ [−100 : 200]◦C and Φ ∈ [0 : 7.2]1019n.cm−2, a quantitative agree-
ment is obtained. In particular, the hardening behavior is well captured up to strain levels of about 40% (Figs. 5b,f) under
tensile loading whatever the test temperature. The Bauschinger effect, characterized by a compressive yield strength lower
than tensile yield strength, is also modelled quantitatively (Figs. 5b,d,f,h) for strains levels in the range p ∈ [0 : 40]%.
In some cases (Figs. 5f), slight deviations are observed under compressive loading after tensile loading, indicating some220

limitations of the constitutive equations calibrated for cases involving low temperature / high strain levels and reverse
loading. This case is however not relevant for the simulations presented hereafter in this study.

Material #1 Material #2
Y (MPa) 197600 − 118.8T (◦C)
ν 0.3
r0 (MPa) 400 + 33 exp (−0.011T (◦C)) 430 + 10 exp (−0.019T (◦C))
rl (MPa) 400 + 48 exp (−0.012T (◦C)) 461 + 28 exp (−0.016T (◦C))
q (MPa) 0.45r0
b 12
c (MPa) 4r0
D 25
K1 80 − 0.5 min [T (◦C), 20]
m1 7
K2 0.185
m2 1.15

α 0.35
(
Φ(1019n.cm−2)

12

)0.59

β 0.012
(
Φ(1019n.cm−2)

12

)0.59

Table 4: Parameters of the constitutive equations: Hardening parameters

The hardening parameters have been calibrated based on Material #1, but Charpy tests simulations should be per-
formed on Material #2 to compare with the experimental data. Differences of chemical composition are rather minor
(Tab 1), but an additional calibration is required regarding the flow stress and Lüders stress values at the unirradiated225

state. This has been done in [42] and calibrated values are given in Tab. 4. Comparisons between experimental data and
numerical simulations for notched tensile samples are shown in Fig. 6 for different temperatures and irradiation fluences.
As for Material #1, a very good agreement is obtained regarding the hardening behavior up to high strain levels. It should
be kept in mind that only flow stress and Lüders stress values at the unirradiated state differ between Material #1 and
Material #2, all other parameters being either fixed or related to these values (Tab. 4).230
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Figure 6: Comparisons between the predictions of the constitutive equations (solid lines) to the experimental data (points) for tensile tests on notched
samples, as a function of temperature and irradiation fluence, for Material #2

The experimental database obtained in this study allows calibrating the hardening behavior of the material for a
wide range of parameters (temperature, fluence, strain), covering the whole range of relevant applications for RPV. This
includes quasi-static and dynamic structural integrity assessment between room temperature to operating temperature up
to fluence relevant for long-term operation of PWR reactors [6] or analysis of low temperature laboratory tests assessing
fracture toughness evolution with irradiation [42]. The key point is the parameterization of the hardening variables where235

the temperature dependence is supported only by the unirradiated flow stress r0 and the irradiation dependence only by
two hardening variables α and β. This allows accounting for material variations of the unirradiated material through
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changing only the flow stress, as shown hereabove between Material #1 and Material #2. A simple dependence of the
parameters α and β to neutron fluence is used that appear to be sufficient for the (low Cu content) materials considered in
this study. However, more complicated functions may be required. More generally, an interesting perspective is to validate240

such modelling assumption for a large database of RPV steels. The prefactors of the irradiation hardening variables are
assumed to depend on the chemical composition. This quantitative modelling of hardening behavior of RPV steels allows
going beyond the hypothesis made for example in [39] in order to predict quantitatively the Charpy impact properties.
Before, ductile fracture model parameters should also be calibrated, which is done in the next section.

4.2. Calibration: Ductile fracture245

Accounting for porosity through Eqs. 9, 10 requires to calibrate some parameters. In the GTN model (Eq. 9), the
parameters are q1 and q2 that have been shown in previous studies to depend on strain-hardening, void distribution, stress
triaxiality. Preliminary simulations using the tabulated values including the effect of strain hardening given in [57] show
a rather minor effect. Thus, in the following, these parameters are set to the values most commonly used in the literature:
q1 = 1.5 and q2 = 1. In the coalescence model used, the only parameter is qχ (Eq. 12). This parameter should be viewed as250

an effective parameter describing void distribution. For a cubic array of spherical voids, the theoretical value is qχ = 1 [51].
Here, qχ is calibrated based on Charpy V-Notch simulations. Experimental Charpy load-displacement curves available for
Material #2 for three conditions on the upper shelf - {Φ = 0.1019n.cm−2,T = 300◦C} , {Φ = 8.8 1019n.cm−2,T = 150◦C}
and {Φ = 13.7 1019n.cm−2,T = 235◦C} - are compared to the numerical curves, and the parameter qχ is adjusted. Note
that only data corresponding to the T-L orientation are used (see Section 2.3) for which the strain-hardening behavior has255

been calibrated.
Fig. 7a corresponds to the typical output of Charpy finite element simulations, where plastic strain p field is shown

on the deformed configuration for an extended crack propagation. Several features can be observed. First, for Charpy
impact tests in the upper shelf range, a significant amount of plasticity is observed at the contact between the specimens
and the anvils / striker. This may induce numerical difficulties for the frictional contact algorithm. It should also be noted260

that accounting for friction, although with a moderate value of the coefficient µ = 0.1, leads to runtimes about twice the
ones using frictionless contact. Friction leads to an increase of the load of about 3% compared to frictionless contact.
Along the crack propagation path, plastic strain is higher close to the initial notch where crack nucleates. As discussed in
Section 3.3, simulations are mesh-dependent, hence plastic strain values depend on mesh size.
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Figure 7: (a) Typical plastic strain field of the finite element Charpy simulations (b) Load-displacements curves for Material #2: solid lines correspond
to numerical results and points to experimental data

For unirradiated and irradiated states, several values of the coalescence parameter qχ have been tested to obtain the best
agreement between numerical and experimental load-displacement curves (Fig. 7b). At the unirradiated state, a value of
qχ = 0.9 is obtained, while a higher value - qχ = 0.975 - is required at the irradiated state (Φ = 8.8 1019n.cm−2). As shown
in Fig. 7b, a very good agreement is observed between numerical predictions and experimental data for the whole curves,
i.e., up to almost complete fracture of the specimens. Note that simulations are stopped when the load is about 20% of the
maximal load, as convergence is extremely difficult when only few elements are left in the remaining ligament (Fig. 7a).
The need to change the ductile fracture parameters with irradiation seems to indicate that irradiation affects not only
strain-hardening behavior but also local fracture properties. This is in agreement with the preliminary observations from
[39] where the change of hardening behavior with irradiation was deemed insufficient to lead to evolutions of USE. The
change of the parameter qχ is rather small, about 10% between unirradiated and highly irradiated state, but unavoidable to
predict quantitatively load-displacement curves. From a physical point of view, irradiation may affect the three different
stages of ductile fracture, i.e., nucleation, growth and coalescence. For simplicity, void nucleation has been disregarded in
the model used, contrary to [36]. Adding the nucleation model proposed in [36] do affect slightly the load-displacement
curves shown on Fig. 7b as detailed in Appendix A. However, void nucleation could also affect indirectly void growth
and coalescence through the parameters q1, q2, qχ by changing microscopic scale hardening behavior. Typically, void
nucleation from carbides (below 1µm) in between voids nucleated from MnS inclusions (above few µm) is expected
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to favor void coalescence, as shown in [58]. This may provide a rationale for the evolution of the parameter qχ with
irradiation, but experimental data are required to support this hypothesis. In practice, an evolution law for the parameter
qχ as a function of irradiation is needed. The database of this study (Fig. 3) for Material #2 lacks data at low fluence. Thus
a simple power-law is chosen:

qχ = 0.9 + 0.075
(
Φ(1019n.cm−2)

9

)0.59

(17)

where the exponent is taken to be equal as the one describing irradiation hardening. This is clearly an assumption that265

should be validated specifically, for example by performing the calibration shown on Fig. 7b for low irradiation fluence.
As shown on the inset of Fig. 7b, Eq. 17 leads to accurate results for the highest fluence that was not used to calibrate the
parameter qχ.

4.3. Effect of irradiation on the upper shelf energy

The calibrated set of constitutive equations describing the ductile regime of RPV steels is used to predict numerically270

the effect of irradiation of the upper shelf energy. Simulations are performed at a temperature of 300◦C, thus corresponding
to the upper shelf, for various fluences up to 14.1019n.cm−2.
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Figure 8: (a) Evolution of Charpy impact test load-displacement curves for Material #2 at a temperature of 300◦C for various fluences up to
14.1019n.cm−2. Inset: Evolution of USE as a function of irradiation fluence. (b) Comparison of the USE estimated numerically as a function of
the USE predicted by the Kirk-2015 model. Black points correspond to fluences at which calibration was performed. Dashed lines correspond to ±σ.

Load-displacement curves are shown in Fig. 8a. Simulations are stopped when the load falls below 20% of the max-
imal load, as severely distorted finite elements and contact issues make convergence of the algorithm difficult. The asso-
ciated fracture energy is obtained by integrating the load-displacement curves. Although not considering the final part of275

the curves (below 20% of the maximal force), this methodology leads to values within 3% of the fracture energy measured
experimentally for the curves shown on Fig. 7b. Hence, in the following, these values are referred to as USE. Results are
shown in the inset of Fig. 8a. The decrease of the USE with irradiation is recovered, about 15% for the maximal fluence
considered, which is in agreement with the experimental data (Fig. 3). The values obtained numerically are compared
to the predictions of the Kirk-2015 model (Eq. 1) in Fig. 8b. Reminding first that ductile fracture model parameter has280

been calibrated for fluences of 0 and 8.8 1019n.cm−2 and second that the Kirk-2015 model describes the experimental data
rather accurately (Fig. 3), this explains that the two points in black in Fig. 8b shows an almost perfect agreement. The
interesting point is that the evolution in between predicted numerically follows quite closely the Kirk-2015 model, and
the differences are well below the scatter of the latter. This indicates that assuming a power-law dependence of the ductile
fracture parameter (Eq. 17) with an exponent equal to the one used for irradiation hardening is relevant, at least at first285

order. In more details, the data shown on Fig. 8b suggests that the exponent should be lower than 0.59, i.e., a stronger
decrease of the parameter qχ for low irradiation fluence, to recover the Kirk-2015 trend curve.

In this section, it has been demonstrated that the effect of irradiation on RPV Charpy impact tests load-displacement
curves can be modelled quantitatively. This involves the calibration of a single parameter related to void coalescence.290

The range of variations of this parameter with irradiation is rather narrow, about 10% between the reference state to
Φ = 1020n.cm−2, but necessary to predict a decrease of USE with irradiation as observed experimentally. This confirms
the suggestion made in [39] that accounting solely for the evolution of hardening is not sufficient. The evolution of USE
with irradiation obtained numerically is consistent with the predictions from ETC such as the Kirk-2015 model. This has
been done for one set of material parameters (Material #2) and for the constitutive equations described in Section 3. In295

the next section, other material parameters are considered as well as a simplified ductile fracture model.
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5. Discussion

5.1. Effect of material parameters

Results presented in Section 4.3 indicate that, for a given material, quantitative modelling of strain-hardening and
calibration of a single parameter related to ductile fracture allow to recover the evolution of the USE with irradiation. In
this section, numerical experiments are performed to assess if such conclusion holds for other material parameters. More
precisely, the main question concerns the relevance of Eq. 17 for other material parameters. As discussed in Section 2.3,
the Kirk-2015 (Eq. 1) suggests that the evolution of ductile fracture parameters may not depend strongly on the chemical
composition, as alloying elements susceptible to affect for example void nucleation (like P segregating at interfaces) does
not appear in the model. Moreover, contrary to the NUREG-6551 model, the reference USE appears simply as a scaling
factor in the Kirk-2015 model. Therefore, two numerical tests are done. The first test consists of changing the initial
porosity while keeping the same hardening and fracture parameters. An initial porosity of f0 = 9 10−4 is used, twice
the one used in Section 4.3. The second test consists of considering a material with twice as copper as Materials #1 &
#2 as this element is known to affect the evolution of USE with irradiation [9, 15, 16, 18]. As copper content affects
irradiation-induced hardening, the parameters α and β of the strain-hardening behavior are modified in the following way:

δα,β =
α(%Cu2)
α(%Cu1)

=
β(%Cu2)
β(%Cu1)

=
∆YS (%Cu2)
∆YS (%Cu1)

=
∆TFIM(%Cu2)
∆TFIM(%Cu1)

(18)

where the increase of yield stress ∆YS is assumed to be proportional to the shift of ductile-brittle transition temperature
∆T [12]. ∆T is computed with the FIM model [10] that depends on the chemical composition, leading to δα,β = 1.43 for a300

twofold increase of the copper content for Material #2, i.e., wt% Cu = 0.14. Other material parameters are kept constant.
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Figure 9: (a) Evolution of Charpy impact test load-displacement curves at a temperature of 300◦C for various fluences up to 14.1019n.cm−2 by consid-
ering different initial porosity and copper content from Material #2. Grayscale lines correspond to the reference results from Fig. 8. Inset: Evolution of
USE as a function of irradiation fluence. (b) Comparison of the USE estimated numerically as a function of the USE predicted by the Kirk-2015 model.
Dashed lines correspond to ±σ.

Results for the two tests are shown in Fig. 9 along with the reference results of Material #2 already shown in Fig. 8.
For the higher initial porosity, a strong effect is as expected observed on the load-displacement curves (Fig. 9a), leading
to a USE at the unirradiated state significantly lower that the reference case. The decrease of USE with irradiation follows
closely the Kirk-2015 model (Fig. 9b). For the higher copper content, the effect is a higher maximal load as irradiation305

increases, consistently with the higher irradiation-induced hardening (Eq. 18). However, the softening part of the load-
displacement curve is weakly affected. These two effects lead to a slightly higher USE at the irradiated state compared to
the reference case (Inset Fig. 9a). Kirk-2015 predicts a stronger evolution of the USE (Fig. 9b), but numerical values fall
within the scatter bounds of the model. Considering that the Kirk-2015 model as the reference, these two numerical tests
suggest that Eq. 17 might also be relevant for a large class of RPV steels. Direct comparisons to experimental data are310

nevertheless required to assess this assumption in more details.

5.2. Effect of ductile fracture model

The ductile fracture model detailed in Section 3.2 combines two physically-based model to describe void growth and
coalescence regimes. Another formulation, widely used in the literature, is to consider only the GTN definition of the
equivalent stress (Eq. 9) with an effective porosity f ? defined as:

f ? =

{
f for f ≤ fc

fc + δ( f − fc) otherwise with δ =
q−1

1 − fc
fR − fc

(19)

to account for coalescence in a phenomenological way as an increase of the porosity rate. Two parameters are involved:
the critical porosity fc and the fracture porosity fR that require calibration. Eqs. 9, 19 define the full GTN model which
is available in the constitutive equations library of the MFront code generator [54]. Following the methodology used
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in Section 4, the parameters fc and fR are calibrated by comparing the numerical predictions to the experimental load-
displacement curves. Details are given in Appendix A, leading to:

fR = 0.47 − 0.06
(
Φ(1019n.cm−2)

9

)0.59

(20)

fc = 0.003 (21)

where a power-law function is again assumed for the evolution of the parameter fR with irradiation. Numerical and
experimental load-displacement curves are shown in Fig. 10a for Material #2, where a good agreement is observed. As for
the other ductile fracture model, the agreement comes at the price of modifying the parameter related to void coalescence315

towards a stronger coalescence phase after irradiation. The model calibrated is then used to assess the evolution of the
USE with irradiation for Material #2 as well as considering a higher initial porosity.
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Figure 10: (a) Load-displacement curves for Material #2: solid lines correspond to numerical results (GTN model) and points to experimental data (b)
Comparison of the USE estimated numerically as a function of the USE predicted by the Kirk-2015 model. Dashed lines correspond to ±σ.

Fig. 10b shows the comparison of the USE predicted by the numerical simulations to the values predicted by the
Kirk-2015 model. The results are similar to the ones presented in Section 4.3, showing that the evolution laws for the
ductile fracture parameters (Eq. 20) lead to results compatible with the Kirk-2015 model.320

5.3. Towards a simulation-based USE curve
The results obtained in this study indicate that the evolution of USE with irradiation for a given RPV steel can be re-

produced quantitatively using direct simulations of Charpy impact tests. However this requires (1) an accurate description
of the hardening behavior but also (2) calibration of fracture parameters. These requirements may be seen at first view as
strong constraints to extend these results to other RPV steels, but the following approach could be used.325
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Figure 11: Flowchart for the prediction of the Upper Shelf Energy for RPV steels

First, as shown in this study for the two materials and a large range of temperature, a master curve for hardening
behavior could be derived for wide class of RPV steels, reducing the need for calibration of the unirradiated material to a
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single parameter, the flow stress R0, that can be taken equal to the yield stress YS . Second, the evolution of the flow stress
with irradiation is well documented in the literature for a wide range of chemical composition, e.g. in the IVAR data, and
can be used to get the hardening parameters α and β as done in the previous section. Third, the initial porosity can be330

evaluated using Franklin’s formula based on the chemical composition. The trickiest point is related to the calibration of
the ductile fracture parameters (qχ for the model used in Section 4, fc and fR for the GTN model). One of the main result
of this study is that constant ductile fracture parameters does not lead to the correct evolution of USE with irradiation.
Thus, a dependence to irradiation fluence has to be accounted for. Such dependence is rather weak but unavoidable, with
the models used, to get predictions in quantitative agreement with experimental data. Two strategies may be proposed335

to obtain these parameters. The first one involves detailed assessment of local ductile fracture properties with irradiation
through metallurgical and fracture surface observations. The second one consists of using the large database available
for RPV steels to propose laws for ductile fracture parameters and to assess the dependence to the chemical composition.
In the latter approach, the fact that the correlation proposed by Kirk depends only on the copper content, which affects
only irradiation-induced hardening, suggests that the evolution proposed (Eqs. 17, 20) might be sufficient for a large class340

of RPV steels. Numerical tests performed in Section 5 support this assumption that remains to be fully assessed. The
flowchart shown in Fig. 11 summarizes the different ways to evaluate the upper shelf energy of RPV steels, i.e., based on
trend curves or relying on numerical simulations. For the latter, the blue lines correspond to links that are rather mature
in the literature, such as the estimation of hardening based of chemical composition and fast neutron fluence, and the
numerical evaluation of USE based on finite element simulations. The main contribution of this study is towards the link345

that appear as a red line, where a dependence to irradiation level has been put forward.

6. Conclusions and Perspectives

Numerical predictions of the effect of irradiation on the Charpy Upper Shelf Energy of Reactor Pressure Vessel steels
have been presented in this study. These predictions are based on finite element simulations of Charpy impact test based on
physically-based constitutive equations modelling ductile fracture through void growth to coalescence. The parameters of350

the constitutive equations related to strain-hardening and fracture have been calibrated based on an experimental database
for a A508 Cl3 steel. The main results of this study are the following. First, accounting only for the evolution of (strain)-
hardening with irradiation does not allow to recover the decrease of USE with irradiation observed experimentally. This
numerical observation is obtained for two different ductile fracture models, strongly suggesting that irradiation has an
effect on local fracture features. For the material considered, calibration of the ductile fracture model parameters has355

been performed at both unirradiated and highly irradiated states, allowing to recover the decrease of USE. A simple
power-law dependence of the ductile fracture parameter with irradiation is shown to lead to evolutions consistent with
the embrittlement trend curves proposed in the literature, for different initial material parameters. ETC suggests that the
evolution of USE is mostly related to the copper content - and only to this in Kirk-2015 model - hence not to chemical
elements supposed to affect directly ductile fracture mechanisms such as Phosphorus weakening interfaces. Thus, the360

evolutions of ductile fracture parameters obtained in this study are assumed to be weakly dependent on the chemical
composition of the material, therefore applicable to a wide class of RPV steels. This leads to a numerical methodology
that can be used to predict USE for irradiated RPV. This methodology does not aim to replace ETC for engineering
applications, but rather to build a consistent modelling of ductile fracture relevant for a wide class of RPV steels, able to
predict not only USE but also fracture toughness.365

Three main perspectives can be proposed based on the results obtained in this study. First, modelling and numeri-
cal simulations should be improved to be able to reproduce features that can be measured experimentally such as lateral
contraction and the occurrence of shear lips on Charpy specimens. Second, additional experimental characterization are
required to support the evolution of ductile fracture parameters with irradiation. This may include detailed characteriza-
tion of fracture surfaces and / or X-ray tomography experiments to assess the effect of irradiation on void nucleation and370

/ or void coalescence. Such characterization may also give some insights into the typical fracture lengthscale - set by the
size of the finite element in this study - and its dependence to porosity. Thirdly, for the material considered, the database of
USE values at the irradiated state was restricted to rather large neutron fluences, while the decrease of USE is stronger for
low neutron fluences. Hence, the accurate calibration of the power-law dependence of the ductile fracture parameter was
not possible. Numerical assessment of extended database is thus expected to lead on the one hand to refined calibration375

of the evolution of ductile fracture parameters with irradiation, and on the other hand to the assessment of the dependence
to the chemical composition and the state of the material prior to irradiation.
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Appendix A

Void nucleation has been considered in [39] for a RPV steel by modifying the equation related to the evolution of the
porosity according to:

ḟ = (1 − f ) trace ε̇
∼ p + An ṗ (22)

where An = 0.038 for p ∈ [0.5 : 1.1] to model void nucleation from carbides. In this study, void nucleation has been385

neglected. Fig. 12a shows the effect of accounting for void nucleation on Charpy load-displacement curves, using the
parameter qχ calibrated as a function of fluence. The effect is rather slight. One may however note that the effect of
increasing nucleation rate is qualitatively similar to increasing the value of the parameter qχ. The inset of Fig. 12a shows
the curves obtained considering the unirradiated value of qχ, without or with nucleation. The numerical predictions
are not in quantitative agreement with the experimental curve, but increasing the nucleation rate may lead to a good390

agreement. Whatever the modelling chosen (effective parameter qχ or accounting explicitly for nucleation through An),
two key questions remain: (1) what is the most relevant fracture mechanism related to void nucleation from carbides:
increasing porosity vs. accelerated coalescence of larger scale voids, (2) in any cases, how to calibrate these parameters
and to corroborate with fractographic observations.
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Figure 12: (a) Load-displacement curves for Material #2: solid lines and dashed lines correspond to numerical results using Eq. 17 without and with
void nucleation (Eq. 22), respectively, and points to experimental data. Inset: qχ = 0.9 (b) Calibration of the GTN model: effect of the parameters fc
and fR on load-displacement curves and comparison to experimental data

Fig. 12b shows the calibration process of the GTN model parameters (Section 5.2) at the unirradiated state where395

shaded areas correspond to the regions spanned by the numerical curves by varying one parameter at a time. In that case,
the numerical curves are much more sensitive to the parameter fR than fc. Hence, the latter one has been set to fc = 0.003
(by keeping the same ratio f0/ fc as in [39]), and a good agreement is obtained for fR = 0.47.
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